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Abstract
Accurate estimates of multistage axial compressor performance at off-design oper-
ating conditions are essential to the determination of key performance metrics of
aircraft gas turbine engines, such as fuel burn, thrust output, and stable operating
range. However, conventional RANS based CFD calculations of multistage axial com-
pressors diverge at off-design operating conditions where large separation occurs and
the stages are mismatched. This thesis demonstrates the feasibility of a body force
based approach to capturing the three-dimensional flow field through a turbomachin-
ery blade row at off-design conditions. A first principles based blade passage model
is introduced which addresses the limitations of previous approaches. The inputs to
the improved blade passage model are determined from three-dimensional, steady,
single-passage RANS CFD calculations.
In a first step towards modeling multistage configurations, the improved blade
passage model is validated using a fan rotor test case. At the design operating con-
ditions, the stagnation pressure rise coefficient and the work coefficient are both
estimated within 5%, and the adiabatic efficiency is estimated within 1 percentage
point over most of the span relative to single-passage RANS CFD simulations. At low
mass flow operating conditions, where the single-passage RANS CFD diverges, the
blade passage model and related body force representation are capable of computing
the three-dimensional throughflow with separation and reversed flow. These results
pave the way for future unsteady calculations to assess compressor stability and for
multistage compressor simulations at off-design conditions.
Thesis Supervisor: Zoltan S. Spakovszky
Title: Professor of Aeronautics and Astronautics
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Chapter 1
Introduction
1.1 Background and Motivation
Multistage axial compressors in aircraft gas turbine engines experience a wide range
of operating conditions, including low rotational speeds during engine startup and
landing, high rotational speeds during take-off and cruise, and accelerations and de-
celerations throughout the aircraft's mission profile. At all of these operating con-
ditions, the compressor must provide an adequate amount of pressure rise for the
engine to produce the required amount of thrust. The compressor must also maintain
an acceptable stall margin over its entire operating range in order to ensure stable
operation.
A compressor's geometry is largely influenced by the choice of the compressor's
design point, a single combination of corrected speed and corrected mass flow rate.
The design point is typically chosen based on the operating condition that the com-
pressor will experience for the majority of its mission profile, or based on the point in
the mission where the compressor performance is most critical [1]. However, the com-
pressor will not always operate at its design point, and its performance at off-design
conditions will have a substantial impact on the overall performance of the engine.
Therefore, in order to accurately estimate key performance metrics of the engine,
such as thrust and fuel burn, over its entire operating range, accurate estimates of
compressor performance, both at design and off-design conditions, are essential.
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One of the most common methods used today for obtaining high-fidelity estimates
of multistage axial compressor performance is three-dimensional computational fluid
dynamics (CFD). To compute the three-dimensional compressor flow field, compres-
sor designers will typically use CFD to solve the steady form of the Reynolds-averaged
Navier-Stokes (RANS) equations. Steady RANS CFD calculations provide accurate
performance estimates near a multistage compressor's design point, but have diffi-
culty accurately calculating the flow field at off-design conditions due to mismatched
compressor stages.
A multistage compressor is designed such that near its design point, the stages are
matched, meaning that the inlet flow requirements of a compressor stage to achieve
its intended design performance are met by the outlet flow of the upstream stages
[1]. When stages are mismatched, a stage's inlet flow requirements are not met,
causing a departure from the stage's intended design performance, which in turn
creates increasingly amplified departures from intended design performance for all
downstream stages. Therefore, even if the departure is small in the front stages,
the rear stages could be operating far away from their intended design conditions,
possibly resulting in stall or choke in the rear stages.
For example, at the design corrected speed, corrected mass flow rates far away
from the design point will result in incidence changes on the first compressor stage,
changing the amount of density rise through the stage. The change in density rise
leads to changes in axial velocity at the stage exit, resulting in further incidence
changes on the downstream stages. These incidence changes are amplified through
the compressor so that the rear stages are operating at severe incidence angles, often
leading to flow separation in the rear stages. Furthermore, at corrected speeds much
lower than the design corrected speed, the corrected mass flow rate through the
compressor is limited by the choking of the rear stages, which is due to the decrease
in density rise through the compressor from high corrected speeds to low corrected
speeds. The choking of the rear stages can result in the front stages operating at
high incidence, resulting in flow separation and stall. The flow separation caused by
mismatched compressor stages at these off-design conditions is an inherently unsteady,
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turbulent flow feature, and cannot be captured by steady RANS CFD, resulting in
inaccurate representations of the flow field through the compressor.
One alternative to steady RANS CFD is unsteady RANS (URANS) CFD. How-
ever, URANS CFD can still yield inaccurate solutions for separated flows due to
limitations in the turbulence models used [2]. Also, the computational domains for
URANS calculations typically encompass more than one blade passage, leading to
large grid sizes that are computationally expensive to the point where the calculation
may be deemed impractical, especially during the early design phase of a compres-
sor. An alternative to URANS CFD is large-eddy simulation (LES) CFD, in which
the governing equations are filtered spatially on the scale of the computational grid,
so that large-scale eddies are directly calculated while small-scale eddies are mod-
eled [2]. LES CFD models large-scale turbulence more accurately than RANS based
CFD, suggesting that LES CFD would yield better predictions of the separated flows
found in multistage compressors at some off-design conditions [3]. However, for high
Reynolds number flows, such as those typically found in aircraft gas turbine engine
compressors, in order to resolve the boundary layers on the blades and endwalls, LES
CFD requires an impractical amount of computational resources [2].
Steady RANS, URANS, and LES CFD either do not accurately model separated
flow at off-design conditions, or are computationally impractical. Therefore, there is a
need to develop a practical method of estimating compressor blade row performance
at off-design conditions. This thesis investigates the use of a body force modeling
framework to fulfill this need. The approach replaces the compressor blades in the
computational domain with a body force field, acting like a spatial and temporal filter
that retains the key flow features of the blade passage.
The body force model can be thought of as an extension of modeling a blade row
with an actuator disk or actuator volume. Locally, the magnitude and direction of the
body forces are related to the local flow quantities via a blade passage model so that
the body force field can respond to changes in the flow field, much like the compressor
blades would. Limitations of previously established blade passage models [10, 18, 19]
have been identified, specifically the inability to capture relative streamline curvature
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in the blade passage. These limitations are addressed by the improved blade passage
model presented in this thesis, which is validated using a fan rotor test case. The
improved blade passage model is used to estimate the fan rotor performance at off-
design conditions.
1.2 Research Goals and Objectives
The goal of this thesis is to demonstrate the feasibility of a body force based ap-
proach to compute the three-dimensional flow through a turbomachinery blade row
at off-design operating conditions where conventional RANS based CFD calculations
diverge. In particular, the following set of specific research questions are addressed:
1. What are the limitations of the previously established blade passage models?
2. What are the desired attributes of the improved blade passage model in order
to estimate off-design compressor blade row performance?
3. What are the limitations of the improved blade passage model?
1.3 Contributions
At low mass flow off-design operating conditions, the improved blade passage model
is capable of computing the three-dimensional flow through a fan rotor test case with
separation and reversed flow. This capability sets the foundation for the use of the
improved blade passage model in unsteady, full annulus calculations of multistage
axial compressors to estimate the performance at off-design conditions where conven-
tional RANS based CFD cannot provide reliable solutions. The approach also has the
potential to investigate the dynamic stability of multistage compressors in response
to perturbations in the flow field.
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1.4 Thesis Outline
This thesis is organized as follows: Chapter 2 presents summaries of methods used to
estimate compressor performance and of uses of the body force modeling framework in
past research. The limitations of the previously established blade passage models are
also identified. Chapter 3 describes the development of the improved blade passage
model and its key features, while Chapter 4 details the inputs to the improved blade
passage model. Chapter 5 presents the validation of the extraction and implementa-
tion of the body force field and model inputs. Chapter 6 details the validation of the
improved blade passage model, as well as an assessment of the model's capability of
estimating the off-design performance of a fan rotor test case. Chapter 7 summarizes
the conclusions of this research and also suggests recommendations for future work.
25
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Chapter 2
An Overview of the Body Force
Modeling Framework
2.1 Evolution of Tools Used to Estimate Compres-
sor Performance
There have been many advances in the technology and tools used to estimate com-
pressor performance since the first use of compressors in aircraft engines. Horlock and
Denton [4] provide a summary of these advances from the late 1940s up until the point
when CFD began to see widespread use. The performance of early compressors in the
late 1940s and the early 1950s was typically estimated using empirical correlations,
such as data from cascade tests of specific airfoil shapes. This empirical data included
measurements of deviation, flow deflection limits, blade profile losses and losses from
secondary flow. Compressors were designed to produce a prescribed spanwise dis-
tribution of swirl velocity, usually that of a free vortex, so that velocity triangles
at different spanwise locations could be calculated using simple radial equilibrium.
However, the fluid dynamic processes in the compressor were not well understood, so
there was little physical interpretation of the empirical correlations used. Difficulties
in estimating compressor performance occurred at off-design conditions due to stage
matching, or when stage loading limits were exceeded.
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In the late 1950s and through the 1960s, there were advances in analytical tools
to estimate compressor performance. To calculate the inherently three-dimensional
flow in a compressor blade row, Wu [5] proposed a numerical method of calculat-
ing the flow on two, two-dimensional streamsurfaces in a blade passage, one which
was aligned with the blade-to-blade flow, the other with the spanwise flow. These
streamsurfaces would be free to change shape through the blade passage, following
the path of the three-dimensional flow, as illustrated in Figure 2-1. However, due to
Spanwise strea
Blade-to-b
I i streamsurf
lade
ace
Figure 2-1: Three-dimensional flow estimated by two, two-dimensional streamsurfaces
(adapted from [1]).
the complexity of the changing streamsurface shapes with every iteration of the calcu-
lation, the blade-to-blade and spanwise streamsurfaces are commonly approximated
as flow in a surface of revolution and a meridional plane, respectively, as shown in
Figure 2-2. To calculate the flow in the surface of revolution, numerical methods were
established to perform incompressible calculations of two-dimensional blade-to-blade
flows. Analytical models were also developed to provide flow solutions for specific
airfoil shapes, which could be used to check the numerical solutions. The numerical
methods were also modified to account for the effects of boundary layer growth on
the blade surfaces.
28
rm urface
Surface of
revolution
(a) Surface of Revolution
Casing
Streamline
Hub
(b) Meridional Plane
Figure 2-2: Approximations for blade-to-blade and spanwise streamsurfaces (adapted
from [1]).
Throughflow methods were developed to calculate the two-dimensional flow in
the meridional plane. A common assumption used in these throughflow methods is
axisymmetric flow, where blade rows are modeled as an infinite number of infinitely-
thin blades, resulting in a flow field which is equivalent to the pitchwise average of the
flow in the actual blade row [1]. Throughflow methods still require empirical inputs
for blade loading, losses, and deviation, which can be found using blade-to-blade
calculations. Marble [6] describes an actuator disk throughflow method where the
blade row is modeled as a two-dimensional region of an infinite number of infinitely-
thin blades with zero chord. Through the actuator disk, the axial and radial velocities
are continuous, whereas the change in circumferential velocity is discontinuous and
based on blade loading. Since the actual blade row has a finite chord, the actuator disk
model can be extended to a continuous distribution of actuator disks that occupies
the same meridional area as the blade row and provides the appropriate change in
circumferential velocity on an integral basis.
Other throughflow methods include streamline curvature methods and matrix
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throughflow methods. Matrix throughflow methods were introduced by Marsh [7], and
solve for a streamfunction in the meridional plane using matrix inversion. Streamline
curvature methods use the radial equilibrium and continuity equations to solve for
the shapes of the two-dimensional streamlines in the meridional plane, and the flow
quantities along those streamlines. Streamline curvature methods are still widely
used today, especially during a compressor's design phase, where they can be used
to guide blade design and stage matching by estimating compressor performance at
off-design conditions [8].
Enabled by advances in computer technology, three-dimensional CFD has become
increasingly used as a method of estimating compressor performance, with Euler
calculations introduced in the 1970s, Navier-Stokes calculations introduced in the
1980s, and steady multistage and unsteady single-stage calculations introduced in
the 1990s [3]. CFD allows compressor designers to validate three-dimensional blade
designs and to investigate three-dimensional flow effects on compressor performance
[8], leading to more efficient compressor designs with higher pressure ratios. While
CFD is used widely today for high-fidelity estimates of compressor performance, major
sources of error in CFD solutions are the modeling of turbulence and transition,
especially in separated flow [3].
The research presented in this thesis uses a combination of three-dimensional CFD
and a throughflow method known as the body force method to compute the three-
dimensional flow field through a compressor blade row, specifically at off-design op-
erating conditions. The following section gives an overview of the body force method
and summarizes uses of the method in several past research efforts.
2.2 The Body Force Method
2.2.1 Body Force Representation of a Blade Row
The body force method was introduced by Marble [6] as a throughflow method where
the flow is assumed axisymmetric through the blade row, such that the blade row is
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modeled as an infinite number of infinitely-thin blades. The blades are replaced by a
body force field, referred to as the body force representation of the blade row, that
occupies the same swept volume as the blade row as illustrated in Figure 2-3. Inside
the body force field region, body force source terms are added to the momentum and
energy equations, thereby re-creating the pitchwise-averaged amount of flow turning,
enthalpy change, and entropy generation produced by the actual blade row.
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Figure 2-3: Compressor blade row (left) modeled by a body force field occupying the
same swept volume (right) (adapted from [6]).
The body forces are divided into two components: (1) the normal force fa, which
is normal to the relative flow and represents the blade force in the absence of viscous
shear stress and (2) the parallel force f,, which is tangent to the relative flow and
represents the blade force component due to viscous shear stress. The normal force
is responsible for turning the relative flow while the parallel force is responsible for
generating losses in the flow. Figure 2-4 illustrates this concept.
By examining the governing equations with body force source terms included,
relations that show how the body forces change the enthalpy and entropy of the flow
can be derived. To arrive at these relations, it is convenient to substitute for the
pressure gradient in the Gibbs equation using the momentum equations in cylindrical
coordinates. The resulting relation becomes
_h_ &sWm - Qrfo = Twm +' - f , (2.1)
am am
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wFigure 2-4: Relative flow through discrete blades (left) and relative flow through a
body force field (right) with normal and parallel forces.
where m is the distance along a two-dimensional meridional streamline and W is the
relative velocity vector. The parallel force is parallel to the relative flow, so W. f
can be written as wfp. Combining the circumferential momentum equation with the
Euler turbine equation yields
Aht Qrfo
am Wm
(2.2)
where the change in stagnation enthalpy along a meridional streamline is proportional
to the rate at which the torque applied by the circumferential body force does work
on the fluid. Equation 2.2 is a restatement of the Euler turbine equation in terms of
body forces, and is an application of the first law of thermodynamics, so it holds true
regardless of the amount of losses in the system. Therefore, substituting Equation
2.2 into Equation 2.1 yields
os w
- = - f.
am wT
(2.3)
Losses introduced by the viscous shear stress represented by the parallel force are
responsible for changes in entropy along a meridional streamline.
32
2.2.2 Use of Body Forces in Past Research
Rhie et al. [9] used body forces and deterministic stresses to mitigate the short-
comings of a mixing plane approach to multistage compressor CFD in order to more
accurately predict the compressor performance. The flow field in each blade row was
calculated in a separate computational domain with upstream and downstream exten-
sions beyond where the mixing plane interface between adjacent blade rows would be
placed. There were no mixing planes in these separate computational domains, and
to obtain the overall compressor flow field, the computational domains were overlaid,
as shown in Figure 2-5. In each separate computational domain, the downstream
Body forces Applied to Downstream Only
Overlapped
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Figure 2-5: Use of body forces
tional domains (from [9]).
to simulate downstream blades in separate computa-
blade row was represented with body forces in the downstream extension, such that
the upstream blade row saw the static pressure distribution caused by the presence
of the downstream blade row. Deterministic stresses were applied at the interface
between blade rows to model the average wake blockage and axial and radial mixing
effects. The resulting flow field obtained by overlapping the separate computational
domains was more representative of the actual flow in the compressor, as opposed
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to a flow field calculated with mixing planes. Three-dimensional RANS CFD cal-
culations using this procedure accurately predicted global compressor performance
and spanwise profiles at several different operating conditions and showed marked
improvement over calculations with mixing planes.
Gong [10] used body forces to develop a non-linear, three-dimensional computa-
tional model to simulate short-wavelength stall inception, part-span stall cells, and
the compressor response to three-dimensional inlet distortions. A body force repre-
sentation of the compressor blade rows was appropriate because the flow phenomena
associated with short-wavelength stall inception have a length scale of several blade
passages, so the model was not required to resolve the flow features of blade passage
length scale. A blade passage model was developed to allow the local body forces to
respond to changes in local flow quantities, since a desired feature of the model was to
allow for flow redistribution in the blade passage. Blade passage models were devel-
oped for the incompressible flow in low-speed compressors and for the compressible
flow in high-speed compressors. The compressible flow model is of interest within the
scope of the present thesis. The details and limitations of this blade passage model
are discussed in detail in Section 2.3. Euler CFD calculations using the blade passage
model to construct a body force representation of the NASA Stage 35 compressor
showed that the body forces could adequately transfer inlet stagnation temperature
and pressure distortions through the compressor. It was also observed that the inlet
distortions could cause large variations in the body forces, up to about 40% of their
mean values. Furthermore, the body force representation of the blade rows was able
to capture compressible effects, such as shocks in the blade passage.
Hsiao et al. [11] used body force representations of a fan rotor and fan exit guide
vane (FEGV) row in order to simulate the effects of a fan stage on inlet flow in
high-bypass propulsion systems. Gong's blade passage model was used to calculate
the local body forces based on the local flow quantities. RANS CFD calculations
with body force representations of the fan rotor and FEGV row of the NASA 22"
rig produced stagnation temperature, stagnation pressure, and swirl angle spanwise
profiles at the FEGV leading edge that showed good agreement with experimental
34
data. The body force representation also qualitatively captured the effect of the fan
on the inlet flow separation at high freestream angles of attack, increasing the angle
of attack at which the flow begins to separate off the inlet walls.
Chima [12] developed a three-dimensional Euler CFD code for an investigation of
inlet distortion and stall phenoma in the NASA Stage 35 compressor using a body
force representation of the blade rows. Two models for the circumferential body force
were developed, a flow turning model based on angular momentum change using Mar-
ble's formulation, and a deviation model in which the circumferential body force was
proportional to the deviation from the desired flow angle. The flow turning model was
used in calculations near the compressor's design point, while the deviation model
was used near stall. The parallel force model was based on Marble's formulation.
The axial and radial body force components were found through geometric relations
assuming that the force in the meridional direction was aligned with the streamwise
gridlines. The inputs to the body force models were the meridional gradient of an-
gular momentum, the meridional gradient of entropy, and the deviation angle, all of
which were determined from spanwise profiles produced by RANS CFD calculations
of the compressor at one operating point and scaled to other operating conditions.
The three-dimensional Euler CFD code with body forces was able to predict the com-
pressor stall point, however the location of the stall point was sensitive to the slopes
of the scaling functions used to determine the body force model inputs. Addition-
ally, radial inlet distortions were shown to reduce the stable operating range of the
compressor without affecting the total-to-static pressure rise, while circumferential
inlet distortions were shown to reduce the stable operating range and decrease the
total-to-static pressure rise across the entire operating range. Unsteady calculations
demonstrated the prediction of rotating stall inception and stall recovery.
The works of Kiwada [13], Reichstein [14], Patel [16], Walker [15], and Kerner [17]
represent an effort to use body forces in simulations of multistage axial compressor
stall based on the work by Gong. In this effort, body forces were extracted from
a known flow field using a control volume approach first introduced by Kiwada in
[13]. Reichstein [14] investigated the changes in body forces due to three-dimensional
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flow effects and described a link between the body forces and flow features in the
compressor. To allow the body forces to respond to changes in the local flow field,
Walker [15] constructed a look-up table where local body forces were correlated with
values of local flow coefficient #. The look-up table was an analytical correlation
between the body forces and the local flow field, as opposed to a physics-based model.
Patel [16] modified this look-up table approach by correlating local body forces with
the product of local 4 and global q, so as to avoid double-value problems that occurred
when the body forces were correlated with only local q. Kerner [17] extracted body
forces from three-dimensional CFD using the control volume method, which enabled
the body forces to capture the effect of three-dimensional flow features, such as tip
leakage flows.
Defoe [18] used a body force representation of a fan rotor in his study of fan rotor
shock noise generation and propagation in conventional inlets and in serpentine in-
lets with boundary layer ingestion. Since an Euler CFD calculation was required to
capture acoustic propagation, a body force representation of the fan rotor was used
to accurately capture fan performance. This work introduced the idea of superposing
three body force fields to model the multiple-pure-tone (MPT) noise generated by
slight variations in the rotor-locked shock system. Time-mean body forces were used
to simulate the overall rotor performance, rotor-locked body forces were used to gen-
erate the rotor-locked shock system, and rotating body forces were used to produce
variations in the rotor-locked shock system and generate MPT noise. Gong's blade
passage model was used to relate local body forces to local flow quantities and was
validated using the GE R4 fan rotor in a conventional inlet, where the body force
representation of the fan rotor produced performance estimates with an acceptable
amount of accuracy when compared to experimental data. Euler calculations of the
GE R4 fan rotor in serpentine inlets with boundary layer ingestion showed that the
primary cause of changes in far-field MPT noise was the swirl distortion associated
with the ingestion of streamwise vorticity.
Peters [19] used a body force representation of a fan stage to investigate fan/inlet
coupling and distortion transfer in short nacelle inlets for low pressure ratio, high-
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bypass ratio fans. A body force representation was used to simulate the effect of the
fan on the inlet and external flows, greatly reducing the computational costs of the
required full-wheel unsteady CFD calculations. A modified version of Gong's blade
passage model was used, and the modifications are described in more detail in Section
2.3. A coupled fan-nacelle design approach was established using a combination of
spline-based three-dimensional geometry definition and the body force representation
of the fan stage. Additionally, a short-inlet design was produced that provided a 0.3%
increase in propulsive efficiency over a baseline inlet configuration, while limiting fan
rotor efficiency penalties and maintaining an acceptable fan stall margin.
2.3 Gong's Blade Passage Model
The body force source terms that are added to the governing equations are calculated
by the blade passage model based on blade geometry and local flow quantities. Gong's
blade passage model assumes that locally, a blade passage can be modeled as a two-
dimensional, straight, staggered channel, with the stagger angle of the channel walls
equivalent to the local blade metal angle a along the camberline. The two-dimensional
aspect of the model assumes negligible radial force, which is a reasonable assumption if
the compressor blades are radial. The blade passage model is formulated in a cartesian
coordinate system in the staggered channel frame of reference, with coordinates in
the direction of the channel and normal to the channel. The relative flow inside the
channel is allowed to deviate from a by an angle A3. Figure 2-6 illustrates the model
coordinate system, and the relative velocity and force components in the straight,
staggered channel.
The detailed derivations of the blade passage model can be found in [10], so only
the final formulations for the normal and parallel force models are presented here.
The parallel force model represents the viscous shear on the flow caused by the blade
and is given by
Fp = -Kp v2 (2.4)
where V is the relative velocity magnitude, h is the channel width, and Kp is a pro-
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Figure 2-6: The relative flow and body forces in Gong's blade passage model (from
[10]).
portionality constant that can be thought of as a drag coefficient, which is determined
specifically for the blade row being modeled. The normal force model has two compo-
nents: (1) a loading term which describes the normal force due to the blade loading,
and (2) a deviation term which is a detect-correct normal force proportional to the
deviation of the relative flow from the prescribed blade metal angle, such that
Fn= Fndiatn ±Fnoading . (2.5)
The normal force due to the blade loading is the local pressure difference across
the blade, as illustrated in Figure 2-7. By assuming that the pressure gradient is only
in the direction of the staggered channel, the pressure difference across the blade, and
therefore the loading term of the normal force model, can be expressed in terms of
the axial pressure gradient.
1 Op
Fnadi - sina (2.6)
p 0x
38
SP3'
'V
Fn
0
P3
Fn = P3 - PI
p h
Figure 2-7: Normal force due to blade loading assuming a pressure gradient aligned
with the straight, staggered channel (from [10]).
The formulation in Equation 2.6 is convenient for use in a body force representation
of the blade row, where the pressure gradient is only in the axial direction due to
the axisymmetric flow assumption. The deviation term of the normal force model is
formulated using a momentum balance normal to the channel, and is given by
Fnd.. = Kn h (2.7)
where V, is the relative velocity in the direction of the channel, V is the relative
velocity in the direction normal to the channel, and Kn is a scaling function that
is determined specifically for the blade row being modeled. Equation 2.7 can be
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rewritten using geometric relationships as
V2
Fam =K" 2-sin (2A3) , (2.8)
which shows that the deviation term of the normal force model is proportional to the
relative flow deviation A43 from the blade metal angle. The full normal force model
is then given by
V 2  lap.Fn = K vsin (2Af) + I sina . (2.9)
2h p ax
Gong computed Kn and K, using loss and deviation correlations for the blade row
being modeled at midspan and blade tip locations. Kn was expressed as a function
of blade metal angle while K, was a constant. Defoe [18] used Gong's blade passage
model, but determined Kn and K, using results at midspan and tip locations from
single-passage, three-dimensional RANS calculations of the blade row being modeled.
Peters [19] modified Gong's blade passage model to account for blade lean by
rotating the normal force by the local blade lean angle, thereby adding a radial force
component. Furthermore, the parallel force model was modified to capture off-design
loss generation by introducing a quadratic dependency on the fan face relative Mach
number at peak efficiency Mref, and is given by
F KP 1 [M,2ei + Kp2 (Mret - Mref)2 V 2  , (2.10)
where Kp1 and K,2 are constants chosen so as to represent the losses computed
by single-passage RANS calculations. Additionally, a single K distribution was
determined from single-passage RANS calculations at all blade locations across the
operating range, and was expressed as a function of blade geometry only. A constant
offset was added to the relative velocity normal to the staggered channel, V, to
eliminate singularities in Kn when V = 0. More details can be found in [19].
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2.4 Limitations of Gong's Blade Passage Model
Several limitations of the previously established blade passage models have been iden-
tified in other applications [19, 20]. The primary limitation is that the model does not
capture the local relative streamline curvature. To illustrate this limitation, consider
a relative streamline through a blade passage where at some axial location x = xO,
the blade metal angle i, equals zero, as illustrated in Figure 2-8. At x = xo, it is also
assumed that the local relative flow angle 3 is equivalent to K.
0
Figure 2-8: Example blade passage to illustrate how Gong's blade passage model does
not capture relative streamline curvature (adapted from [20]).
Since 3 = r = 0 at x = xO, according to Gong's normal force model, given in
Equation 2.9, there is no force normal to the relative streamline. However, in reality
the relative streamline has a radius of curvature at x = xo, and must experience a
normal force in order to balance the centripetal acceleration of fluid particles on the
curved streamline. In a blade passage, this normal force is provided by the pressure
gradient normal to the relative streamline set up by the pressure and suction surfaces
of the blades that form the passage. This normal pressure gradient is related to the
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relative streamline curvature through the steady, inviscid momentum equation in the
normal direction
P 
- = p2 (2.11)
an rc 8
where rc is the relative streamline radius of curvature, and f is the distance along the
relative streamline. Since there are no physical blades in the body force representa-
tion of the blade row, the normal pressure gradient that causes relative streamline
curvature needs to be captured by the normal force model so that the equivalent
normal body force can be added as a source term in the momentum equation. Gong's
blade passage model does not capture this force experienced by the fluid particle at
x = xO. However, from leading edge to trailing edge, Gong's blade passage model
still turns the relative flow because although there may be no normal force at x = xo,
in the adjacent downstream cell there will be a deviation between the relative flow
angle and the blade metal angle, resulting in a non-zero normal force.
Another limitation of Gong's blade passage model is the parallel force formulation,
which is unable to capture changes in parallel force due to changes in operating
conditions [19]. This limitation was addressed in a modification of the parallel force
model by introducing a quadratic, "bucket-like" dependence on a reference relative
Mach number. However, in [19], the constants K, and Kp2 were used to introduce
the appropriate amount of loss produced by the parallel force.
This thesis presents an improved blade passage model that addresses the lim-
itations described above by capturing relative streamline curvature and providing
characterizations for each of the model terms from first principles. The development
of the improved blade passage model is described next.
42
Chapter 3
Improved Blade Passage Model
Development
The momentum equation and the combination of the governing equations proposed by
Marble [6] and given by Equation 2.1 in Section 2.2.1 provide relationships between
flow quantities, forces, and thermodynamic quantities and are therefore used as a
basis for the improved blade passage model. This chapter describes the development
of the improved blade passage model from these governing equations.
3.1 Model Objectives and Assumptions
The primary objective of the improved blade passage model is to relate the local body
forces to local flow quantities to model the response of the blade row performance
to changes in flow conditions. The aim for the body force field is to re-create the
pitchwise-averaged effect of the blade row on the flow. Furthermore, the model must
capture the effects of relative streamline curvature and it is desired to formulate the
model terms with a clear physical interpretation, addressing the limitations of the
previously established blade passage models.
The improved blade passage model assumes no radial forces, velocities, or gra-
dients, which is a reasonable assumption for the flow away from the endwalls in an
axial compressor with radial blades. With this assumption, at each radial location,
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the improved blade passage model is two-dimensional in the axial and circumferential
directions. The improved blade passage model is developed in a natural coordinate
system along a relative streamline, with the streamwise direction denoted by f and
the direction normal to the relative streamline denoted by n. Figure 3-1 illustrates
the natural coordinate system along a relative streamline in an representative blade
passage. The model also assumes steady, compressible, inviscid flow, with all viscous
Figure 3-1: Improved blade passage model coordinate system.
forces captured by the parallel force. Furthermore, fictitious forces in the rotating
frame are neglected. The remainder of this chapter describes the development of the
improved normal and parallel force models from the governing equations using the
above assumptions.
3.2 Improved Normal Force Model
The improved normal force model described below is used for calculating the local
normal force magnitude based on the local flow quantities. The normal force turns the
flow and is always applied normal to the local relative flow angle /3, since a streamwise
component of the normal force would result in spurious changes in stagnation pressure
along the relative streamline.
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3.2.1 Model Derivation
The momentum equation along a relative streamline is used to relate the normal force
to the local flow quantities. The full momentum equation is given by
__ 1
+ (-V)G =--Vp-+ f+v (viscous terms) + (fictitious forces)at p (3.1)
Applying the assumptions summarized in Section 3.1, the momentum equation re-
duces to
(--* V) -= -1Vp +f ,p (3.2)
which is then expanded in the two-dimensional natural coordinate system along the
relative streamline.
S1 pW (W) = 5f +K + (fMZ + fain) (3.3)
Using the chain rule, the left-hand side of Equation 3.3 can be written as follows
aw (we) aw aef + Wa (3.4)
Since the magnitude of the unit vector i cannot change, any change ae must be in
the normal direction h [21], as illustrated in Figure 3-2. Assuming small angles, the
change ai can be related to the change in relative flow angle by
(3.5)
Rewriting Equation 3.4 using the relation given by Equation 3.5 gives
(aw 0
w f-+w-Sat at ) )
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Figure 3-2: Change in streamwise unit vector i (adapted from [21]).
which can then be substituted into Equation 3.3 to give
awm 28030 1 OP P
w - n= + + Ifif n . (3.6)Sef p &r an
The normal momentum equation consists of the normal components of Equation 3.6
and is given by
fn = --W23 + 1a
af p an (3.7)
Equation 3.7 forms the basis for the improved normal force model. The curvature
of the relative streamline is captured by the streamwise gradient of relative flow
angle, or &/ 3/&, which is equivalent to the inverse of the relative streamline's radius
of curvature r,. To illustrate how the normal body force affects the relative streamline
curvature, it is convenient to re-write Equation 3.7 in terms of the relative streamline's
radius of curvature, thereby recovering an equation for the centripetal acceleration of
a fluid particle in the relative frame in the x-6 plane
2 0/3 _W 2  1 lapw - - --- fn
af rc pOn (3.8)
The sum of the normal body force and the normal pressure gradient is equivalent
to the centripetal acceleration of a fluid particle in the relative frame, which governs
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the path of that fluid particle and therefore the curvature of the relative streamline.
The normal pressure gradient can be further simplified by examining its axial and
circumferential components
p- =- si# -p - cos . (3.9)
o9n ax ao
Since the body force representation assumes axisymmetric flow, all gradients in the
circumferential direction go to zero. Therefore, the normal force model in Equation
3.7 can be re-written as
fn 2 + 1 -- sin3 , (3.10)
af p ax
which relates the normal body force to local flow quantities.
3.2.2 Model Inputs
In Equation 3.10, the normal force model has no connection to the compressor blade
row being modeled. To relate the amount of relative streamline curvature to the
geometry and performance of the blade row, we assume that the local relative flow
angle #3 is the sum of the local blade metal angle K and a local deviation angle 6
= x + . (3.11)
In the infinite number of infinitely-thin blades assumption employed in the body
force representation of the blade row, the blade metal angle r, is defined by the blade
camberline. The assumption stated in Equation 3.11 allows to re-write Equation 3.10
as
fn = -W2 a+ -- + sin # (3.12)af af p ax
which now has two inputs: (1) the streamwise gradient of blade metal angle &i/8&
and (2) the streamwise gradient of deviation angle 96/D. The streamwise gradient of
blade metal angle represents the relative streamline curvature in the absence of viscous
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boundary layer displacement, where the relative flow exactly follows the curvature of
the blade camberline. The streamwise gradient of blade metal angle can be expressed
as
- = Cos , (3.13)
aE x
where ai/ax is determined from the blade geometry.
The streamwise gradient of deviation angle alters the amount of relative streamline
curvature prescribed by the blade camberline due to boundary layer displacement
effects. We can define a non-dimensional streamwise gradient of deviation angle as
follows
A = C- ,(3.14)
where the reference length c is the blade chord1 . The non-dimensional streamwise
gradient of deviation angle A is determined for the blade row being modeled and
used as an input to the normal force model. The determination of A and it's ability
to capture incidence angle effects is explained in greater detail in Section 4.7. Using
Equations 3.13 and 3.14, the improved normal force model can be written as
2 1 1lp
fn = -w2 cos3 + -A + - sin3 , (3.15)
x c9X C p x
which meets the model objectives outlined in Section 3.1.
3.2.3 Numerical Stability
Preliminary body force calculations using the improved normal force model given by
Equation 3.15 exhibited numerical instabilities that prevented convergence. Results
from these preliminary calculations suggested that the instabilities stemmed from the
axial pressure gradient term in the normal force model. To investigate the numerical
stability of the normal force model, a compressible swirling flow control volume anal-
ysis was performed to determine the influence coefficients relating the axial pressure
'In the calculations presented in this thesis, c was set to the blade chord at midspan, independent
of radial location.
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gradient term to the body forces. The compressible swirling flow analysis is presented
in detail in Appendix A and the final results are summarized here. The axial pressure
gradient term is related to the normal and parallel body forces by
I dp I [ cos' (1 + (y -1)M(3.)6
p dx 1 X 1 - MX2 _ -
Since only the normal force model is considered in this model numerical stability
analysis, the parallel force is set to zero, reducing Equation 3.16 to
1 =dp [ sm3 fn . (3.17)
p dx [1-M.2
For the flow in the preliminary calculations, the sign of the bracketed influence
coefficient in Equation 3.17 is positive, such that an increase in normal force magni-
tude leads to an increase in axial pressure gradient. Also, the improved normal force
model in Equation 3.15 shows that an increase in axial pressure gradient leads to an
increase in normal force magnitude. Therefore, the axial pressure gradient term in
the normal force model is destabilizing as it can create positive feedback with the
normal force magnitude. To eliminate the numerical instabilities related to the axial
pressure gradient, the axial pressure gradient term in the normal force model can
be recast in terms of influence coefficients and body forces [20]. This results in the
following normal force model
-w 2 (1- M) (K 1 A) +tan (1+ (-1)Me)ffn = 3( ~l XCos + -- +2 f (3.18)
cos 2 /3(1-Mei) x c I rel
In order to avoid singularities at Mrei = 1, a constant offset Koff is added to the
denominators of both terms of the normal force model.
-W2 (1 - M2) an 1 tan / (1 + (- )Me,)
(1- M= cos # + - + MM Pf (3.19)
cos2 (1 -Mye) +Koff \x c J1 -M el + Koff
In body force calculations, the normal force model given by Equation 3.19 does
not exhibit the numerical instabilities discussed before.
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3.2.4 "Rubber" Blade Passage Aspect of Improved Normal
Force Model
The improved normal force model is based on the streamwise gradients of blade
metal angle and deviation angle, as opposed to Gong's model, which was based on
the blade metal angle and the deviation angle. Therefore, the relative streamlines are
not constrained to specific relative flow angles, as they would be in a blade passage.
Because of this, the improved normal force model can be viewed as a "rubber" blade
passage. The outflow condition is not explicitly imposed in the improved normal force
model. Instead, the exit flow angle in the body force representation of the blade row
depends on the amount of relative streamline curvature through the body force field,
which is governed by the normal force distribution. Figure 3-3 illustrates the effect
of the "rubber" blade passage on exit flow angle and therefore exit swirl velocity.
In a blade passage with the outflow condition, two blades with different loading
distributions will have the same exit flow angle and exit swirl velocity assuming no
deviation. However, the normal force distribution extracted from the higher loading
distribution will produce a greater amount of relative streamline curvature in the
"rubber" blade passage, resulting in a higher exit swirl velocity and therefore more
work input to the flow. In order to estimate the performance of a compressor blade row
using the improved normal force model, the amount of relative streamline curvature
through the body force field region must be appropriately captured.
3.3 Improved Parallel Force Model
The improved parallel force model described below is used for calculating the local
parallel force magnitude based on the local flow quantities. The parallel force is
always applied tangent to the relative flow and introduces losses due to the viscous
effects associated with, for example, blade surface boundary layers and the mixing of
the tip leakage flow with the main flow.
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Figure 3-3: The effect of a given normal force distribution on exit flow angle in a
blade passage with outflow condition versus that in a "rubber" blade passage.
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3.3.1 Model Derivation
The improved parallel force model is based on the results of Marble's analysis, sum-
marized in Section 2.2.1, which demonstrates that the parallel force is related to the
meridional entropy gradient by
am sf = mT . (3.20)
The total relative velocity w and the meridional relative velocity wm are related
through the relative flow angle # by cos 3 = wm/w, which is used to rewrite Equation
3.20 as
asfp= -T acos #3 (3.21)
am
Equation 3.21 forms the basis for the improved parallel force model and calculates
the necessary parallel force to create a specific local meridional entropy gradient given
the local static temperature and relative flow angle.
3.3.2 Model Inputs
The pitchwise-averaged entropy generated by the blade row needs to be modeled in the
body force representation in order to obtain accurate estimates of blade row adiabatic
efficiency and stagnation pressure rise. Therefore, the local meridional gradient of the
pitchwise-averaged entropy distribution of the blade row being modeled is used as an
input to the improved parallel force model.
3.4 Summary
The expressions for the normal and parallel body forces in the improved blade passage
model can be summarized as
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-w 2 (1 - M) !A'1 tan 3 (1+(y - 1)Mei)fn = -M2.cos#+ -A + I 2fP
cos2 3(1 - Mei) + Koff (ax C 13- MJ + Koff
fp = -T cos/3
am
where 8ti/Dx, A, and Ds/Dm are inputs determined from the blade row being modeled.
For brevity, in the remainder of this thesis, the improved normal and parallel force
models will be referred to as the normal and parallel force models. The next chapter
describes the determination of the model inputs for the fan rotor test case investigated
in this thesis.
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Chapter 4
Improved Blade Passage Model
Inputs
4.1 Overview
The improved blade passage model developed in Chapter 3 has three inputs that link
the body forces to the blade row being modeled,
1. Axial gradient of blade metal angle Di'i/Dx
2. Meridional entropy gradient Ds/&m
3. Non-dimensional streamwise gradient of deviation angle A
The axial gradient of blade metal angle depends only on blade geometry, while
the other inputs can be extracted from several different sources, such as correlations,
experimental data, or numerical computations. In this thesis, A and Ds/&m are
extracted from three-dimensional, steady, single-passage RANS CFD calculations of
a fan rotor test case.
55
4.2 Fan Rotor Test Case
The fan rotor test case is a low pressure ratio fan from an advanced, high bypass
ratio aircraft engine. This particular fan rotor was chosen as a relevant test case with
which to validate the improved blade passage model because it incorporates highly
three-dimensional geometry and is representative of modern fan blade design trends.
Furthermore, a rotor was chosen in favor of a stator in order to validate the work
input to the flow estimated by the improved blade passage model. The details of the
fan rotor geometry and performance are proprietary.
4.3 Computational Setup
4.3.1 CFD Tool Description
The commercially-available Numeca FINE/Turbo CFD package was used for both
single-passage and body force calculations. Numeca FINE/Turbo is tailored to turbo-
machinery applications and includes grid generation, flow solving, and post-processing
tools. The automated grid generation tool, AutoGrid, allows the meshing of turbo-
machinery geometry with little user input. IGG, an additional grid generation tool,
allows manual grid generation and is used to create the computational grids for the
body force calculations. The flow solver Euranus operates on structured hexahedral
grids and supports parallel computation on multiple processors. The graphical user
interface FINE controls the Euranus flow solver and allows setting the computation
parameters and boundary conditions. To run body force calculations, a custom ver-
sion of FINE/Turbo was used in conjunction with a Fortran subroutine which adds
body force source terms to the right-hand side of the governing equations in the flow
solver. The post-processing tool CFView was used in conjunction with automated
Python scripts to process the computational flow solutions. More information on
Numeca FINE/Turbo can be found in [22].
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4.3.2 Computational Grids
The computational grid for the single-passage RANS calculations was generated from
two-dimensional flow path geometry and three-dimensional blade geometry using the
Numeca grid generation tools AutoGrid and IGG. The computational domain consists
of the internal flow path extending from the engine nacelle inlet to the bypass duct
exit and includes a fan rotor blade and a fan exit guide vane (FEGV). The domain also
includes the flow path leading into the engine core. The grid generation tools produce
three grid levels, and the finest grid level, consisting of 3.2 million cells, is used for
the single-passage RANS calculations. A grid convergence study can be found in
[19]. Steady, single-passage Euler calculations were also carried out to provide data
consistent with body force calculations with no parallel forces. The single-passage
Euler calculations used the same computational grid as used in the single-passage
RANS calculations, as no changes to the grid were necessary to compute the flow
field.
Two computational grids were used for body force calculations: (1) a RANS
body force grid for calculations with both normal and parallel forces, and (2) an
Euler body force grid for calculations with normal forces only. The calculations with
only normal forces were used to validate the extraction and implementation of the
normal force and of A, and were solved using the Euler equations. The body force
grids were constructed in IGG using the same meridional flow path geometry as the
single-passage RANS grid. The circumferential extent of the body force grids is a 10
degree sector of the annulus with periodic boundary conditions. In the RANS body
force grid, spanwise grid points are clustered near the endwalls to resolve the endwall
boundary layers, while the spanwise grid points are uniformly spaced in the Euler
body force grid, as there are no boundary layers to be resolved. Both grids consist
of approximately 545,000 cells. Body force source terms are added to the governing
equations at the grid points in an axisymmetric domain, referred to as the body force
domain, which is the same shape of the meridional projection of the blade row. Figure
4-1 shows the body force domains for the fan rotor test case in the RANS and Euler
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body force grids. In the tip gap, where the blade does not provide any direct flow
turning or work input into the flow, the normal body force and the energy equation
source terms are set to zero.
I U 1 1 1 11 1 1
(a) RANS body force grid (b) Euler body force grid
Figure 4-1: Meridional view of the body force domain grids for the fan rotor test case.
4.3.3 Boundary Conditions
At the nacelle inlet face, uniform stagnation pressure and stagnation temperature
are specified. The flow direction at the inlet is also specified to be purely axial. At
the exit face leading to the engine core, a mass flow boundary condition is specified
to model the core flow. At the bypass duct exit face, a radial equilibrium static
pressure boundary condition is enforced, the value of which is varied to carry out
calculations at different operating conditions. In some body force calculations, a
mass flow boundary condition that enforces radial equilibrium is used at the bypass
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duct exit face in order to easily match a single-passage RANS operating condition,
or in order to run body force calculations at low mass flows.
In all single-passage RANS calculations, no-slip wall boundary conditions were
enforced. In the body force calculations with normal and parallel forces, no-slip wall
boundary conditions were used everywhere except for slip walls within the body force
domain, where the boundary layer losses are captured by the parallel force near the
endwalls. In single-passage Euler calculations and body force calculations with no
parallel forces, slip walls were used. In single-passage RANS calculations and in body
force calculations with normal and parallel forces, the Spalart-Almaras one-equation
turbulence model [23] was used.
4.4 Body Force Preprocessor
The inputs to the improved blade passage model are determined from the single-
passage RANS solutions using Matlab scripts, referred to as the preprocessor, which
are built upon scripts developed by Peters [19]. Since the body force sources terms
are added to the governing equations at the grid points in the body force domain,
the improved blade passage model inputs must be defined at those grid points. How-
ever, the body force domain grid is not the same as the single-passage RANS grid
due to the absence of the blade, therefore creating a need to accurately translate
the model inputs computed from the single-passage RANS solution to the body force
domain grid points. To accomplish this translation, the preprocessor interpolates the
single-passage RANS solution onto the body force domain grid points using Delauney
triangulation before determining the model inputs. This method allows for the direct
calculation of the model inputs on the body force domain grid points. Determining
the model inputs in this manner makes the process grid dependent. If the body force
domain grid is changed, the single-passage RANS solution will need to be interpolated
onto the new body force domain grid, and the model inputs will need to be recalcu-
lated at the new grid point locations. The input determination process performed by
the preprocessor is outlined in the flowchart in Figure 4-2.
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Figure 4-2: Preprocessor input determination process.
4.5 Axial Gradient of Blade Metal Angle OrK/&x
The axial gradient of blade metal angle input to the normal force model is used to
prescribe the amount of relative streamline curvature required to follow the curva-
ture of the blade camberline. The blade metal angle r, is evaluated along the blade
camberline, which is determined from the three-dimensional geometry of the blade
pressure and suction surfaces. The angle K is defined positive in the direction of rotor
rotation, as illustrated in Figure 4-3.
The three-dimensional distribution of n represents the blade cambersurface, which
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Figure 4-3: Blade metal angle , definition.
is then interpolated onto the two-dimensional body force domain grid, creating a
distribution of r in the meridional plane. To define the axial gradient of blade metal
angle at each grid point in the body force domain, the , distribution is fit with an
8th order two-dimensional polynomial in the axial and radial directions, which allows
the axial gradient of K to be readily determined. For each body force calculation, the
value of the axial gradient of blade metal angle is specified at each grid point in the
body force domain.
4.6 Meridional Entropy Gradient Os/&m
The entropy generated in a blade passage is convected along three-dimensional stream-
lines, which can undergo radial and circumferential shifts, such as those associated
with secondary flow near the endwalls. These shifts occur at the hub of the fan ro-
tor test case, as shown in Figure 4-4, where the entropy in the hub boundary layer
streamlines is convected radially towards the blade tip. This three-dimensional con-
vection of entropy in the blade passage cannot be captured with the two-dimensional
approach of the parallel force model. Instead, the parallel force model captures the
entropy flux through the blade passage, from leading edge to trailing edge, along the
chordwise gridlines in the body force domain, thereby dividing the blade passage into
radial "bands." If the entropy in one "band" is convected in the radial direction, it is
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Hub boundary layer streamlines colored
with entropy
(a) Upstream looking downstream
(b) Meridional view, flow from right to left
Figure 4-4: Entropy in hub boundary layer convected radially with three-dimensional
streamlines due to secondary flow.
captured in adjacent "bands" at the blade trailing edge.
In the body force representation of the blade row, the meridional entropy gradient
governs the rate at which entropy is generated along a chordwise gridline. In order to
appropriately model the overall entropy generation in the blade passage, on an integral
basis the meridional entropy gradient must be equivalent to the pitchwise-averaged
entropy flux extracted from the single-passage RANS calculation. The trends of the
extracted pitchwise-averaged entropy distribution from the fan rotor test case suggest
that the entropy increase along chordwise gridlines is approximately linear over most
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of the span. Thus, the meridional entropy gradient is assumed to be constant along
each chordwise gridline. Figure 4-5 shows the extracted pitchwise-averaged entropy
generation along chordwise gridlines and the corresponding linear approximation at
several spanwise locations near choke, at design, and near stall operating conditions.
In the endwall regions, at 5% and 95% span for example, the changes in entropy tend
to be non-linear as a result of tip leakage flow and secondary flow effects leading to
radial redistribution of the flow near the hub.
The constant value of the meridional entropy gradient for each chordwise gridline,
which will hereafter be referred to as As/Am, is defined as
As STE - sLE
AmTE - XLE) 2 ± (TE (4.1)
where (XLE, rLE) and (XTE, rTE) are the axial and radial coordinates of the leading
and trailing edge of the chordwise gridline. The spanwise distribution of As/Am
shown in Figure 4-6 captures several different flow features associated with loss gen-
eration in the blade passage. The values of As/Am near the hub are negative as a
consequence of the entropy in the hub boundary layer being convected radially to-
wards the tip along three-dimensional streamlines due to secondary flow, resulting
in a net decrease in entropy from leading edge to trailing edge along the chordwise
gridlines. The convected entropy from the hub boundary layer contributes to the
net entropy generation along chordwise gridlines between 5% and 20% span, yielding
increased values of As/Am there. The relatively constant values of As/Am between
20% and 90% span represent the entropy generation in the blade surface boundary
layers. Between 90% span and the blade tip, As/Am increases dramatically due to
losses generated by the mixing of the tip leakage flow and the main flow.
The local parallel force is extracted from the single-passage RANS calculation
using the parallel force model with the approximation of a constant meridional entropy
gradient.
Asfp= -- T cos (4.2)
Am
With these assumptions, the local parallel force depends on the local static tempera-
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Figure 4-5: Pitchwise-averaged entropy distributions along chordwise gridlines (solid)
and their linear approximations (dashed) near choke, at design, and near stall.
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Figure 4-6: Spanwise As/Am distribution at fan rotor design operating conditions.
ture, the local relative flow angle, and the value of As/Am along that specific chord-
wise gridline. The extracted parallel force is used to determine the non-dimensional
streamwise gradient of deviation input to the normal force model, as described in
Section 4.7.
4.6.1 Analytical Representation of As/Am
In order to capture loss generation at operating points where single-passage RANS
data is not available, an analytical representation of As/Am is used to determine
the value of this input at every grid point in the body force domain. To construct
this analytical representation, the values of As/Am along a chordwise gridline over
the operating range are correlated with the pitchwise-averaged flow coefficient q ex-
tracted from single-passage RANS calculations upstream of the fan rotor on the same
chordwise gridline. The flow coefficient 4, defined as the axial velocity normalized
by the rotor tip speed, is used to relate the analytical representation of As/Am with
the operating point. For each chordwise gridline, the correlation between As/Am
and upstream q across the operating range is similar to a loss bucket, where the
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meridional entropy gradient is high near stall and choke, and at a minimum near the
design point. The analytical representation of As/Am is chosen to be a second-order
polynomial fit', constructed using the data points at minimum loss and at stall, since
the off-design conditions of interest in this thesis are those at low mass flows. Figure
4-7 shows the As/Am loss bucket and second-order fit for the midspan chordwise
gridline.
Secoiid-order fit
Data points iised to coiStrullct
secol(l-ord(er fit
Single-passage RANS data
Upstream+
Figure 4-7: Analytical representation of As/Am at 50% span.
In the body force calculation, the value of As/Am for a chordwise gridline is
calculated from the second-order polynomial fit of the loss bucket based on the value
of the upstream <0 for that same chordwise gridline. The analytical representation
of As/Am allows the parallel force model to capture off-design loss generation by
extrapolating the loss bucket trends to operating conditions where there is no data
available.
'The polynomial fit of As/Am is not limited to second-order. The key requirement of the
analytical representation is that it captures the shape of the loss bucket.
66
4.7 Non-dimensional Streamwise Gradient of De-
viation Angle A
The non-dimensional streamwise gradient of deviation angle, or A, is determined by
rearranging the terms of the normal force model
A c [cos 2 # (1 - Mrei) +Koff tan 3(1 + (-y - 1)M2e)
w2 (1 - M,2) (1 - Mye) + Koff I
-- cos #,(4.3)
DX - CFD
where all of the terms of the right-hand-side are extracted from the single-passage
RANS CFD results. The flow quantities 3, w, M2, and Mrei are the pitchwise-
averaged values from the single-passage RANS flow field. The extraction processes
for the normal and parallel forces are described in Sections 4.7.1 and 4.6, respectively.
In the hub endwall boundary layer, the low relative velocities can lead to singulari-
ties in A, which result in singularities in the magnitude of the local normal force. The
singularities in normal force can result in the divergence of body force calculations,
so in order to avoid divergence, the values of A determined from the single-passage
RANS calculations are capped at a maximum value in the preprocessor. As a conse-
quence, the normal force in the hub boundary layer may not be accurately captured.
However, the hub boundary layer constitutes less than 1% of the entire blade span
and is primarily a source of loss rather than work input. Therefore, inaccurate values
of normal force in this region do not significantly affect the overall blade performance.
4.7.1 Normal Force Extraction
In order to appropriately model the flow turning by the blade row, the normal force
extraction process must be consistent with the application of the normal body force
in the representation of the blade row: the extracted normal force must be in the
direction normal to the pitchwise-averaged relative flow. The force on the fluid in
the blade passage that provides flow turning is the net pressure difference across the
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blade, so the normal force extracted from the single-passage RANS calculation is
the net pressure difference across the blade in the direction normal to the pitchwise-
averaged relative flow. This normal force is extracted at every grid point in the body
force domain by querying the blade surface pressures from the single-passage RANS
solution at the intersections of the blade surfaces and the direction normal to the
local pitchwise-averaged relative flow angle, as illustrated in Figure 4-8.
Suc tion sid e
Normal to pil chwise-averagcd flow Camberline
Pressure side
Jntersc(tions
Body force grid points
Figure 4-8: Surface pressures extracted from intersections between blade surfaces and
normal to pitchwise-averaged relative flow (adapted from [19]).
In order to determine the normal force per unit mass, the net pressure difference is
first divided by the cross-passage length in the direction normal to the local pitchwise-
averaged relative flow to convert it into a normal force per unit volume. This cross-
passage length is multiplied by a free area ratio K to exclude the blade volume since
the normal force per unit volume only acts on the volume of fluid in the blade passage.
The free area ratio K is defined as
K =B 2 rr (4.4)
B
where B is the number of blades, and t is the local blade thickness. Figure 4-9
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illustrates the conversion from pressure force to normal force per unit volume.
Noriial force per voluiie =
27rK cos
B-r27r~r KB 
-.....
cos
Figure 4-9: Cross-passage length normal to the local pitchwise-averaged relative flow
used to convert pressure difference to a force per unit volume.
The normal force per unit volume is multiplied by the local density to convert it
to the normal force per unit mass required to find A in Equation 4.3.
4.7.2 Trends of A Across Operating Range
The chordwise A distributions at different spanwise locations across the fan rotor
operating range, with the exception of the operating points in deep choke, are shown
in Figure 4-10. In these distributions, the constant offset Koff has been set to zero,
as the effect of Kff on the A distribution will be discussed shortly. The changes
in A across the operating range are greatest for the first 30% to 40% of the chord
and are relatively small for the remainder of the chord. The large changes in A
near the leading edge of the blade are due to changes in incidence angle across the
operating range since the deviation angle, and therefore the streamwise gradient of
deviation angle, near the leading edge is sensitive to the movement of the leading edge
stagnation point. However, away from the leading edge, the streamwise gradient of
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deviation angle represents the displacement of the flow due to boundary layer growth
along the blade chord and is not as sensitive to changes in incidence, remaining
relatively constant across the operating range. Near the leading edge, A captures
incidence effects on the relative streamline curvature, and away from the leading
edge, A captures the effect of boundary layer displacement on the relative streamline
curvature.
The constant offset Kqff is used to avoid singularities in the normal force at
sonic relative Mach numbers. Kqff shifts the overall A distributions, such that the
differences in A across the operating range become larger away from the leading edge,
as shown in Figure 4-11. However, Koff does not introduce spurious results into the
body force calculation as it is accounted for in both the normal force model and the
determination of A from the single-passage RANS solution. A constant offset value
of Kff = 0.5 was used in the body force calculations as that value avoided normal
force singularities across the fan rotor operating range.
4.7.3 Analytical Representation of A
To describe the dependence of the local normal force on the local flow at operating
conditions where single-passage RANS data is not available, an analytical represen-
tation of A is sought. This analytical representation is constructed by correlating the
local value of A with the local pitchwise-averaged relative velocity extracted from the
single-passage RANS results. This correlation is then fit with polynomials so that the
trends can be extrapolated to local flow conditions where there is no data available.
While higher order polynomials can provide accurate fits in the relative velocity
range where single-passage RANS data is available, outside of this range they will
not necessarily capture the trends in A. For example, consider the trend in A at
the leading edge of the fan rotor test case. As the mass flow through the fan rotor
decreases, the local relative velocity at the leading edge decreases and the incidence
angle increases, moving the stagnation point aft on the blade pressure surface and
increasing amount of relative streamline curvature around the leading edge. In the
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Figure 4-10: Chordwise A distributions (with K,,ff = 0) across the operating range.
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normal force model, the amount of relative streamline curvature is defined as
8s 1
-- cos3 + -1A . (4.5)
Dx C
While a/ax and the chord c remain constant, the leading edge relative flow angle 3
increases in magnitude as the mass flow through the fan rotor decreases, resulting in
a net decreases in magnitude of the first term in Equation 4.5. Therefore, in order to
have a net increase in relative streamline curvature, A must increase as the mass flow
through the fan rotor decreases. The same argument can be made for when the mass
flow through the fan rotor increases, where A decreases as the local relative velocity
at the leading edge increases. To capture these trends, the analytical correlations
of A and relative velocity are fit with a third-order polynomial away from stall and
choke, and with first-order polynomials2 near stall and choke, thereby extrapolating
the trends in A linearly to local flow conditions where there is no data available.
These third-order and first-order polynomial fits are the analytical representation of
A at each grid point in the body force domain. Figure 4-12 shows the analytical
representation of A at the fan rotor leading edge at 50% span.
In the body force calculation, the coefficients of the polynomial fits are evaluated
at the local relative velocity to compute the local value of A. However, in the body
force representation of the blade row, there is no blade metal or aerodynamic block-
age, resulting in a mismatch between the local relative velocity in the body force
calculation and the local pitchwise-averaged relative velocity from the single-passage
RANS results, which is used to construct the analytical representation of A. This
mismatch will result in an incorrect determination of local A, thus creating a need
for a blockage correction to the local relative velocity in the body force calculation.
2The polynomial fits near stall and choke are not limited to first order. The key requirement is
that the analytical representation be monotonic outside of the range of available data.
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Figure 4-12: Analytical representation of A at the leading edge at 50% span.
4.7.4 Blockage Correction
The blockage correction to the local relative velocity, Aw, is calculated from body
force calculations carried out at the same operating conditions as the single-passage
RANS calculations, using the model inputs extracted from the corresponding single-
passage RANS calculations. The relative velocity distribution in these body force
calculations is subtracted from the pitchwise-averaged relative velocity distribution
in the single-passage RANS calculations to obtain a distribution of Aw at different
operating points, such that
Aw = WRANS - WBF (4-6)
An analytical representation for the blockage correction is constructed linking it
to the operating point in order to compute the blockage correction at flow conditions
where there is no single-passage RANS data available. Similar to the parallel force
model, the local blockage correction is analytically correlated with the local upstream
pitchwise-averaged <0 extracted from the single-passage RANS calculations. The flow
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coefficient q is taken far enough upstream such that it is not affected by flow blockage
caused by the blade row. The correlation is fit with polynomials in the same manner
as the analytical representation of A described above, with a third-order fit away
from stall and choke, and first-order fits near stall and choke to avoid spurious trends
caused by higher-order polynomials. In the body force calculation, the local value
of A is computed by first calculating the blockage correction based on the value of
upstream #. The blockage correction is then added to the local relative velocity to
create a corrected local relative velocity based on which A is determined.
The blockage correction captures the total amount of flow blockage caused by the
presence of the blade, and can be decomposed into blade metal blockage and aero-
dynamic blockage. To illustrate this, consider the changes in axial velocity between
the body force calculations and the single-passage RANS calculations. The change in
axial velocity due to the reduction in flow area caused by the presence of the blade
metal is proportional to the free area ratio K.
A W ., etal - I 1(47
__ __ 1 (4.7)
WXBF K
The changes in axial velocity due to blade metal blockage at different spanwise loca-
tions are shown in Figure 4-13. The effect of blade metal blockage is largest near the
hub, where the blade is thickest, and has little effect near the tip, where the blade
is thin. Past research [17, 24] have incorporated blade metal blockage effects into
the body force representation of the blade row by accounting for K in the governing
equations.
The aerodynamic blockage is determined by subtracting the change in axial ve-
locity due to blade metal blockage from the total change in axial velocity
Awxaero _ Awxtota_ AW n 1 _ WRANS 1 (4.8)
WXBF WXBF WXBF WBF K
Figure 4-14 shows the changes in axial velocity due to aerodynamic blockage at dif-
ferent spanwise locations at choke, design, and stall operating conditions. The aero-
dynamic blockage captures reductions in flow area due to flow features such as blade
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surface boundary layer displacement, hub corner separation, flow separation off the
blade pressure and suction surfaces, and the mixing of the tip leakage flow with the
main flow. The non-zero Awero at the leading edge represents the aerodynamic
blockage caused by the flow around the blade leading edge. Away from the hub at
choke, the increase in blockage from the leading edge to approximately 60% chord is
a result of the reduction in flow area due to flow separation on the blade pressure
side caused by severe negative incidence angles. At stall, the large amount of flow
blockage in the first 10% of the chord is due to the reduction in flow area caused by
the flow deviation from the blade metal angle at the leading edge as a result of large
positive incidence angles. Furthermore, near the hub at stall, the increase in blockage
from 50% chord to the trailing edge is a result of the reduction in flow area caused
by hub corner separation.
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Figure 4-13: Aw. due to blade metal blockage.
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Figure 4-14: Aw. due to aerodynamic blockage at choke, design, and stall.
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Chapter 5
Validation of Body Force Field
Extraction and Solver
Implementation
This chapter presents the validation of the extraction of the body forces and model
inputs from single-passage CFD calculations and their implementation in the CFD
solver. The metrics for the validation are relative errors in stagnation pressure rise
coefficient, work coefficient, and adiabatic efficiency estimated by the body force rep-
resentation compared to single-passage CFD results. Mass-averaged values and span-
wise profiles of these metrics were examined. The stagnation pressure rise coefficient
is defined as
tt (5.1)
Pto - Po
and is a measure of stagnation pressure rise across the fan rotor. The work coefficient
is defined as
h - - cATt (5.2)
tipip
and is a measure of stagnation temperature rise across the fan rotor. The validation
was carried out at the fan rotor design operating conditions.
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5.1 Normal Force
The normal force extraction and source term implementation was validated by carry-
ing out a body force calculation with no parallel forces in order to assess the estimates
of flow turning provided by the normal force. In this calculation, the normal force
extracted from a single-passage Euler CFD solution was specified at every grid point
in the body force domain. The source terms added to the governing equations were
queried from these specified forces, as opposed to being computed by the normal force
model. This calculation was carried out on the Euler body force grid, described in
Section 4.3.2. As shown in Figure 5-1, the specified normal forces yield an adiabatic
efficiency of unity along the entire span, with the exception of a small region near the
hub, where numerical dissipation generated stagnation pressure losses in the flow. In
the body force representation of the blade row, the normal force only provides flow
turning and does not generate any stagnation pressure loss. The adiabatic efficiency
of unity validates the implementation of the normal force source terms in the CFD
solver.
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Figure 5-1: Spanwise profile of fan rotor adiabatic efficiency estimated by the specified
normal force calculation.
Relative to the single-passage Euler calculation, the specified normal forces overes-
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Figure 5-2: Mass-averaged estimates from the specified normal force calculation.
timate the flow turning, and therefore the work input to the flow. This overestimation
can be seen in the mass-averaged and spanwise body force estimates of stagnation
pressure rise coefficient and work coefficient, shown in Figure 5-2 and Figure 5-3,
respectively. The mass-averaged stagnation pressure rise coefficient is overestimated
by 6.9% and the mass-averaged work coefficient is overestimated by 5.1%. The over-
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Figure 5-3: Spanwise distribution of relative errors in the specified normal force cal-
culation compared to the single-passage Euler calculation.
estimation in work input is due to the lack of flow blockage in the body force repre-
sentation of the blade row, where the meridional gradient of stagnation enthalpy is
given by
Oht _ Qrfo
am Wm
(5.3)
Using the geometric relations fo = -f, cos / and w, = w cos 3, we can re-write
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Equation 5.3 as
ht _ Qrf
am w
(5.4)
Given the improved blade passage model coordinate system, the relative streamline
curvature in a compressor is such that f = - fI ft, and Equation 5.4 becomes
ht QrIfn|
am w
(5.5)
The normal force magnitude is the same in both the specified normal force calculation
and the single-passage Euler calculation, however the difference in relative flow veloc-
ity between the two calculations can be seen in Figure 5-4. This difference in relative
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Figure 5-4: Percent difference of relative velocity in the specified normal force calcu-
lation compared to the single-passage Euler calculation.
velocity is due to the reduction in flow area caused by the presence of the blade in
the single-passage Euler calculation, and resembles the blade thickness distribution.
The lower relative velocity in the specified normal force calculation results in a higher
meridional gradient of stagnation enthalpy and therefore a higher amount of work
input to the flow compared to the single-passage Euler calculation.
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5.2 Non-dimensional Streamwise Gradient of De-
viation Angle
To validate the extraction and source term implementation of A, another body force
calculation with no parallel forces was carried out where the values of A extracted
from the single-passage Euler CFD solution were specified at every grid point in the
body force domain. The calculation was carried out on the Euler body force grid
and the source terms were computed by the normal force model in Equation 3.19.
Together, the combination of A and the local axial gradient of blade metal angle
specify the amount of local relative streamline curvature. The results are shown in
Figure 5-5 with an adiabatic efficiency of unity.
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Figure 5-5: Spanwise profile of fan rotor adiabatic efficiency estimated by the specified
A calculation.
Compared to the calculation where the normal force was specified, the body force
estimates of mass-averaged and spanwise stagnation pressure rise coefficient and work
coefficient shown in Figure 5-6 and Figure 5-7, respectively, are in better agreement
with the single-passage Euler calculation. With A specified, the body force calcu-
lation underestimates the mass-averaged stagnation pressure rise coefficient by 0.7%
84
1.4
S1.3- 1Body forces (specified f")
CD
8 1.2
Ca
0.9
.Co0.
0)0.8-
(V
E0.6 Single-passage Euler0
z
0.5
0.96 0.98 1 1.02 1.04 1.06
Normalized inlet corrected mass flow
(a) Stagnation pressure rise coefficient (dashed lines are ±8% rel-
ative error)
1.4-
1.3-
Body forces (specified f")
1.2-
0.9
m E0.8--
0
Z 0.7- Body lorces (speCilied d
0.6- Single-passage Euler
0.5 -
0.96 0.98 1 1.02 1.04 1.06
Normalized inlet corrected mass flow
(b) Work coefficient (dashed lines are ±6% relative error)
Figure 5-6: Mass-averaged estimates from the specified A calculation.
and underestimates the mass-averaged work coefficient by 1.8%. This improvement is
a result of specifying the amount of relative streamline curvature at every grid point,
as opposed to inputing the normal force directly. The magnitude of the normal body
force responds to the local flow conditions and generates the required relative stream-
line curvature. On an integral basis, the distribution of relative streamline curvature
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Figure 5-7: Spanwise distribution of relative errors in the specified A calculation
compared to the single-passage Euler calculation.
governs the flow turning through the body force representation of the blade row, and
therefore the amount of work input into the flow.
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5.3 Parallel Force
The parallel force extraction and source term implementation was validated by car-
rying out a body force calculation with both normal and parallel forces in order to
assess the estimates of entropy generation provided by the parallel force. The metric
used for the validation was the fan rotor adiabatic efficiency. In this calculation, the
normal and parallel forces extracted from the single-passage RANS CFD solution
were specified at every grid point in the body force domain. The source terms added
to the governing equations were queried from these specified forces, as opposed to
being computed by the normal and parallel force models. The calculation was carried
out on the RANS body force grid described in Section 4.3.2.
The specified normal and parallel force calculation yields mass-averaged and span-
wise estimates of adiabatic efficiency that are in good agreement with single-passage
RANS results. The mass-averaged rotor adiabatic efficiency is overestimated by 0.16
percentage points, as shown in Figure 5-8.
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Figure 5-8: Mass-averaged adiabatic efficiency estimated by the specified normal and
parallel force calculation (dashed lines are ±0.5 percentage points relative error).
Furthermore, for approximately 90% of the span, the specified normal and parallel
force calculation estimates the adiabatic efficiency within one percentage point of the
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single-passage RANS results, as shown in Figure 5-9. The errors in efficiency estima-
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Figure 5-9: Spanwise distribution of adiabatic efficiency error in the specified normal
and parallel force calculation compared to the single-passage RANS calculation.
tion near the hub and near the tip are due to the parallel force model assumption of
a linear changes in entropy along chordwise gridlines. From 95% span to the shroud
endwall, the entropy in the single-passage RANS calculation increases non-linearly
along chordwise gridlines due to tip leakage flow mixing losses. From the hub endwall
to 5% span, entropy is convected radially towards the tip along three-dimensional
streamlines in the single-passage RANS flow field, resulting in non-linear decreases
in entropy along chordwise gridlines. The assumption of constant meridional entropy
gradients along chordwise gridlines does not appropriately capture the entropy flux
through the blade passage near the hub and tip. This leads to overestimation of the
efficiency near the tip and underestimation of the efficiency near the hub.
The specified normal and parallel force calculation overestimates the work input
to the flow due to the lack of flow blockage, as explained in the previous section. This
overestimation is shown in the mass-averaged and spanwise estimates of stagnation
pressure rise coefficient and work coefficient shown in Figure 5-10 and Figure 5-11,
respectively. The mass-averaged stagnation pressure rise coefficient is overestimated
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Figure 5-10: Mass-averaged estimates from the specified normal force and parallel
force calculation.
by 3.9% and the mass-averaged work coefficient is overestimated by 3.5%. The large
overestimation in stagnation pressure and temperature rise from 90% span to the
blade tip is due to the increased parallel force magnitude in the blade tip region,
which stems from the losses produced by the tip leakage flow mixing with the main
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Figure 5-11: Spanwise distribution of relative errors in the specified normal and
parallel force calculation compared to the single-passage RANS calculation.
flow in the single-passage RANS calculation. In the body force representation of the
blade row, the work input is proportional to the net circumferential body force, which
includes contributions from both the normal and parallel body forces. As such, there
is an increase in work input due to the contribution of the increased parallel force
90
magnitude near the blade tip.
5.4 Meridional Entropy Gradient
To validate the extraction and source term implementation of As/Am, another body
force calculation with normal and parallel forces was carried out where the values of
A and As/Am extracted from the single-passage RANS CFD solution were specified
at every grid point in the body force domain. The calculation was carried out on
the RANS body force grid and the source terms were computed by the normal force
model in Equation 3.19 and the parallel force model in Equation 3.21.
The specified A and As/Am calculation yields mass-averaged and spanwise es-
timates of adiabatic efficiency that are in good agreement with the single-passage
RANS results, as shown in Figure 5-12 and Figure 5-13. Relative to the single-
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Figure 5-12: Estimated mass-averaged adiabatic efficiency from the specified A and
As/Am calculation (dashed lines are ±0.5 percentage points relative error).
passage RANS results, the mass-averaged adiabatic efficiency is underestimated by
0.01 percentage points, and the spanwise distribution of adiabatic efficiency is esti-
mated within one percentage point for 90% of the span. As described above, the
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Figure 5-13: Spanwise distribution of adiabatic efficiency error in the specified A and
As/Am calculation compared to the single-passage RANS calculation.
errors in efficiency estimation near the hub and blade tip are a consequence of the
assumption of linear changes in entropy along chordwise gridlines.
The work input estimated by the specified A and As/Am calculation is also in
good agreement with the single-passage RANS calculation, as shown in the mass-
averaged and spanwise estimates of stagnation pressure rise coefficient and work co-
efficient in Figure 5-14 and Figure 5-15, respectively. Relative to the single-passage
RANS results, the specified A and As/Am calculation underestimates the mass-
averaged stagnation pressure rise coefficient by 2.3% and underestimates the mass-
averaged work coefficient by 2.1%. As described in the previous section, the agreement
with the single-passage RANS calculation stems from the specification of the relative
streamline curvature through the distribution of specified A.
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Figure 5-14: Mass-averaged estimates from the specified A and As/Am calculation.
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Figure 5-15: Spanwise distribution of relative errors in the specified A and As/Am
calculation compared to the single-passage RANS calculation.
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5.5 Validation at Other Operating Conditions
For consistency, body force calculations were carried out to validate the extraction
and implementation of A and As/Am at other operating conditions where single-
passage RANS data was available. At each operating condition, the values of A
and As/Am extracted from the corresponding single-passage RANS calculation were
specified at the body force domain grid points. The mass-averaged results from these
body force calculations are shown in Figures 5-16, 5-17, and 5-18 and are in good
agreement with the single-passage RANS results.
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Figure 5-16: Mass-averaged estimates of stagnation pressure rise coefficient from
specified A and As/Am calculations across the fan rotor operating range (dashed
lines are ±3% relative error).
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Figure 5-17: Mass-averaged estimates of work coefficient from specified A and As/Am
calculations across the fan rotor operating range (dashed lines are ±3% relative error).
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Figure 5-18: Mass-averaged estimates of adiabatic efficiency from specified A and
As/Am calculations across the fan rotor operating range (dashed lines are ±1 per-
centage point relative error).
96
Bodly forces (sp~cihied Aa/m
Chapter 6
Model Validation and Off-Design
Capability Assessment
6.1 Model Validation
To validate the improved blade passage model, body force calculations were carried
out over the operating range where single-passage RANS data was available. In these
body force calculations, the source terms were computed by the normal and parallel
force models and the model inputs were computed using the analytical representations
for As/Am, A, and the blockage correction Aw, as described in Sections 4.6.1, 4.7.3,
and 4.7.4, respectively. The validation metrics are the relative errors in stagnation
pressure rise coefficient, work coefficient, and adiabatic efficiency estimated by the
body force representation compared to single-passage RANS results. Both mass-
averaged values and spanwise distributions of these metrics were examined.
The mass-averaged results estimated by the model are shown in Figures 6-1, 6-2,
and 6-2. Relative to the single-passage RANS results, the mass-averaged values
estimated by the model are in good agreement near design and tend to overestimate
stagnation pressure rise coefficient, work coefficient, and adiabatic efficiency near
stall. These differences in trends between the model estimates and the single-passage
RANS results can be attributed to polynomial fit errors in the analytical representa-
tions of the model inputs. Across the operating range, the mass-averaged stagnation
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Figure 6-1: Mass-averaged stagnation pressure rise coefficient estimated by the model
across the fan rotor operating range (dashed lines are ±7% relative error).
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Figure 6-2: Mass-averaged work coefficient estimated by the model across the fan
rotor operating range (dashed lines are t5% relative error).
pressure rise coefficient is estimated within 7%, the mass-averaged work coefficient
within 5%, and the mass-averaged adiabatic efficiency within 1.5 percentage points.
The spanwise model estimates are in good agreement at the fan rotor design operat-
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Figure 6-3: Mass-averaged adiabatic efficiency estimated by the model across the fan
rotor operating range (dashed lines are +1.5 percentage points relative error).
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Figure 6-4: Spanwise distribution of relative errors in stagnation pressure rise co-
efficient between the model estimates and single-passage RANS results at design
operating conditions.
ing conditions, as shown in Figures 6-4, 6-5, and 6-6. Relative to the single-passage
RANS results, for approximately 80% of the span, the model estimates the stagnation
pressure rise coefficient and work coefficient within 5% and the adiabatic efficiency
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Figure 6-5: Spanwise distribution of relative errors in work coefficient between the
model estimates and single-passage RANS results at design operating conditions.
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Figure 6-6: Spanwise distribution of relative errors in adiabatic efficiency between the
model estimates and single-passage RANS results at design operating conditions.
within 1 percentage point. Furthermore, at design operating conditions, the model
underestimates the mass-averaged values of stagnation pressure rise coefficient by
1.3%, work coefficient by 1.1% and adiabatic efficiency by 0.2 percentage points. Fig-
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ures 6-7, 6-8, and 6-9 show the spanwise model estimates near stall, at the lowest mass
flow where single-passage RANS data is available. Near stall operating conditions,
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Figure 6-7: Spanwise distribution of relative errors in stagnation pressure rise co-
efficient between the model estimates and single-passage RANS results near stall
operating conditions.
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Figure 6-8: Spanwise distribution of relative errors in work coefficient between the
model estimates and single-passage RANS results near stall operating conditions.
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Figure 6-9: Spanwise distribution of relative errors in adiabatic efficiency between the
model estimates and single-passage RANS results near stall operating conditions.
the model continues to estimate the work coefficient within 5% of the single-passage
RANS results for approximately 80% of the span. However, the model overestimates
the adiabatic efficiency and stagnation pressure rise coefficient near the blade tip.
As discussed in Section 5.3, this overestimation is due to the linear assumption of
entropy generation along chordwise gridlines.
6.2 Model Capability Assessment at Off-Design Op-
erating Conditions
Body force calculations using the analytical representations of the model inputs were
carried out at low mass flows where single-passage RANS data was not available.
The mass flow through the fan rotor was decreased until the numerical stability limit
was reached. These calculations were used to demonstrate the feasibility of the body
force based approach to compute the three-dimensional flow through the fan rotor
at off-design operating conditions where the single-passage RANS CFD calculations
diverged. The mass-averaged estimates from these calculations at low mass flows are
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shown in Figures 6-10, 6-11, and 6-12.
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Figure 6-10: Mass-averaged stagnation pressure rise coefficient estimated by the
model across the fan rotor operating range and at low mass flows (dashed lines are
±7% relative error).
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Figure 6-11: Mass-averaged work coefficient estimated by the model across the fan
rotor operating range and at low mass flows (dashed lines are ±5% relative error).
At low mass flows, a region of reversed flow in the blade tip forms. As the mass
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Figure 6-12: Mass-averaged adiabatic efficiency estimated by the model across the
fan rotor operating range and at low mass flows (dashed lines are ±1.5 percentage
points relative error).
flow through the fan rotor is reduced, the pressure rise through the rotor increases,
until the high pressure fluid downstream of the fan rotor is forced back upstream
through the tip gap, forming a recirculation zone in the blade tip region. The axial
and spanwise extent of this recirculation zone increases at the mass flow is reduced, as
shown in Figure 6-13. The reversed flow blocks the incoming main flow upstream of
the blade tip leading edge, and results in decreased axial velocity in the flow through
the blade tip region. The reversed flow also diverts the incoming flow towards the
hub, increasing the axial velocity in the region directly below the recirculation zone.
These trends in axial velocity are shown in the spanwise profiles of axial Mach number
at the leading edge in Figure 6-14
The improved blade passage model enables the body force field to respond to the
changes in the flow field associated with the reversed flow. The reduced axial velocity
in the blade tip leads to a decreased relative velocity and increased incidence angle
at the blade leading edge. Given the trend in A at the leading edge, as described in
Section 4.7.3, the decreased relative velocity at the leading edge results in an increased
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Figure 6-13: Growth of the reversed flow region in the blade tip at low mass flows.
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Figure 6-14: Spanwise profiles of leading edge axial Mach number at low mass flows.
value of A and therefore an increased normal force. The increased normal force
results in an increased circumferential body force, as shown in Figure 6-15, leading
to increased work input at the leading edge. The high stagnation temperature fluid
resulting from the increased work input is recirculated around the blade tip region
with the reversed flow, as shown in Figure 6-16.
The body force field also responds to the increased axial velocity in the region
directly below the recirculation zone. The increased axial velocity is characteristic
of operating conditions at higher mass flows where the flow turning is decreased,
and the model inputs are computed as such by their analytical representations. As
the reversed flow region grows, the amount of flow blockage increases, leading to
increased flow acceleration in the region directly below the recirculation zone. As a
result, between 40% span and 80% span, the work coefficient and stagnation pressure
rise coefficient decrease as the overall mass flow through the fan rotor decreases,
as shown in Figures 6-17 and 6-18. The decrease in work input due to the flow
acceleration between 40% span and 80% span results in a decreasing mass-averaged
work coefficient and stagnation pressure rise coefficient at low mass flows. Although
there is high stagnation temperature fluid in the blade tip, this fluid stagnates near
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Figure 6-15: Circumferential body force at the lowest converged mass flow.
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Figure 6-16: Color contour of work coefficient at the lowest converged mass flow,
showing increased work input in the flow recirculation zone in the blade tip.
the blade trailing edge and is recirculated back upstream, and therefore has a reduced
contribution to the mass-averaged work coefficient compared to the flow between 40%
span and 80% span.
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Figure 6-17: Work coefficient spanwise profiles at low mass flows.
100-
80-
Decreasing mass flow
c 60-
OL
C:
*40-
20-
0
Stagnation pressure rise coefficient
Figure 6-18: Stagnation pressure rise coefficient spanwise profiles at low mass flows.
The contours of stagnation pressure rise coefficient in Figure 6-19 show that as
the mass flow through the fan rotor decreases, a region of low stagnation pressure
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forms upstream of the blade tip leading edge. This is also illustrated by the entropy
contours in Figure 6-20, which show large amounts of entropy generated in the mixing
region upstream of the blade tip leading edge and then convected downstream. The
losses caused by the recirculating flow also lead to decreases in the fan rotor adiabatic
efficiency through the blade tip region, as shown in Figure 6-21.
This assessment of the model capability demonstrates that the three-dimensional
flow field of the fan rotor test case can be computed by the body force representa-
tion at low mass flow operating conditions where single-passage RANS calculations
diverge. This demonstration paves the way for further investigation into the capabil-
ity of the model to estimate the performance of multistage compressors at off-design
conditions. First, unsteady full annulus body force calculations of the fan rotor test
case should be carried out at low mass flows to compute the full annulus flow field
and the response of the body force representation to non-axisymmetric flow pertur-
bations. Next, body force representations of multiple blade rows could be set up to
assess the model's capability of estimating multistage compressor performance, both
at design and off-design operating conditions. Unsteady, full annulus body force cal-
culations of a multistage compressor at off-design conditions could then be carried
out to determine the dynamic stability characteristics of the compressor in response
to flow perturbations.
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Figure 6-19: Color contours of stagnation pressure rise coefficient, showing an in-
creasing amount of loss upstream of the blade tip leading edge.
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Figure 6-20: Color contours of entropy, showing an increasing amount of loss upstream
of the blade tip leading edge.
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Figure 6-21: Adiabatic efficiency spanwise profiles at low mass flows.
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Chapter 7
Summary and Conclusions
7.1 Summary
The limitations of previously established blade passage models were identified and
an improved blade passage model was introduced to address these limitations. The
improved blade passage model is based on first principles and captures the flow fea-
tures in the blade passage, specifically features associated with relative streamline
curvature. To estimate the flow turning and entropy generation of the blade row
being modeled, the inputs to the model define the local amount of relative streamline
curvature and the meridional gradient of entropy along chordwise gridlines. Analyti-
cal representations of the model inputs are used to determine the values of the inputs
based on operating conditions. The model was validated using a fan rotor test case
representative of modern fan blade design trends. The capability of the model to esti-
mate the off-design fan rotor performance was assessed, and it was demonstrated that
the model is capable of computing the three-dimensional throughflow with separation
and reversed flow.
7.2 Conclusions
The following conclusions can be drawn from the research presented in this thesis.
* The following limitations of previous blade passage models have been identified:
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(1) the inability to capture the flow features associated with relative streamline
curvature, which governs the work input to the flow, and (2) the inability to
capture off-design loss generation without the use of empirical constants to
introduce the appropriate amount of loss.
" At design operating conditions, the fan rotor test case performance estimated by
the improved blade passage model is in good agreement with the single-passage
RANS results. For 80% of the blade span, relative to the single-passage RANS
results, the model estimates the work coefficient and stagnation pressure rise
coefficient within 5%, and the adiabatic efficiency within one percentage point.
Furthermore, relative to the single-passage RANS results, the mass-averaged
stagnation pressure rise coefficient, work coefficient and adiabatic efficient are
underestimated by 1.3%, 1.1%, and 0.2 percentage points, respectively. Across
the fan rotor operating range where single-passage RANS data is available, the
model estimates the mass-averaged values of stagnation pressure rise coefficient
within 7%, work coefficient within 5%, and adiabatic efficiency within 1.5 per-
centage points.
" A body force representation using the improved blade passage model is capable
of computing the three-dimensional flow through the fan rotor test case at low
mass flows, where steady, single-passage RANS calculations diverge. The im-
proved blade passage model is also capable of capturing the effects of separation
and reversed flow on the overall blade row performance.
7.3 Key Contributions
The improved blade passage model introduced in this thesis sets the foundation for
further investigation into estimating multistage axial compressor performance using a
body force based approach. Full annulus CFD calculations of multistage compressors
with body force representations of the blade rows could be carried out to estimate
the overall compressor performance at design and off-design operating conditions.
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Additionally, unsteady, full annulus calculations could be carried out to investigate
the dynamic stability of multistage compressors in response to flow field perturbations.
These unsteady calculations could also be used to assess the effect of stage de-coupling
on the dynamic stability characteristics of a multistage compressor.
7.4 Recommendations for Future Work
The following recommendations for future work are made with the goal of extending
the improved blade passage model's capabilities of estimating compressor blade row
performance and the overall performance of multistage axial compressors.
" Modify the parallel force model assumptions to capture non-linear changes in
entropy along chordwise gridlines to accurately model the losses in the hub and
tip regions.
" Carry out unsteady, full annulus body force calculations of the fan rotor test
case to assess the model's capability of computing the full annulus flow field
and its response to unsteady flow field perturbations.
" Assess the improved blade passage model's capability of estimating the perfor-
mance of a multistage compressor at design and off-design operating conditions.
" Use unsteady body force calculations to assess the improved blade passage
model's capability of predicting a multistage compressor's dynamic stability
characteristics at off-design conditions.
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Appendix A
Compressible, Axisymmetric
Swirling Flow Analysis
The objective of the compressible, axisymmetric swirling flow analysis is to find the
influence coefficients for the axial pressure gradient term in the improved normal
force model in terms of the normal and parallel body forces. Influence coefficients are
groups of flow quantities that describe the relationship between differential changes
in one flow quantity and differential changes in either another flow quantity, forces,
or flow geometry. The process for finding influence coefficients involves solving the
differential form of the governing equations across an infinitesimal control volume,
and is detailed in [21].
A.1 Assumptions and Setup
The assumptions made in this analysis are as follows
" Steady, inviscid, adiabatic, compressible flow
" Two-dimensional, planar, axisymmetric swirling flow
" No change in radius
" Axial and circumferential body forces
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The infinitesimal control volume used for this analysis is illustrated in Figure A-i.
Control Volume
I1 x
I t
A I I
Figure A-1: Infinitesimal control volume in two-dimensional planar axisymmetric
swirling compressible flow.
A.2 Differential Form of the Governing Equations
The following are the governing equations used in this analysis.
Continuity:
x-Momentum:
9-Momentum:
dp dux dA 0
-- + + =XO
p ux Ax
uxdux = -- dp + fxdx
p
uxduo = fodx
dx
Energy: cpdTt Qrfo-
State: dp _ dp dTt t - =0
p p T
Definition of u: u2 = U2 + u2U
The energy equation used is a restatement of the Euler turbine equation where Q
is the rotational rate of the blade row being modeled by the body forces. Furthermore,
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u is the absolute flow velocity. Non-dimensionalizing these equations yields,
Co
x-Mo
0-Mo
Definit
dp dux dA 0ntmuity: -+ + = Ax
dux I dp + 1 pfxdx
nentum: z ( 1"dP±(1NX p
duo 1 pfodx
nentum: u0  -YM0M) p
Energy: dT (( - 1)M2)du±(Q1)MQ pfodx
T U -Y MX P
State: dp dp dT
p p T
dlu 2dux duoion of U. -=cos2 -- + sin2 a-
U Ux UO
where MQ is the rotational Mach number of the blade row being modeled by the
body forces. These non-dimensionalized governing equations are used to solve for a
relationship between the axial pressure gradient term in the improved normal force
model and the normal and parallel body forces. The following section summarizes the
algebraic process of solving for the differential change in static pressure, which can
then be re-arranged to find the influence coefficients for the axial pressure gradient
term.
A.3 Solving for dp/p
Start with x-momentum
dp _ pfxdx dux
-=iu - (yM2) 
Substitute for dux/du, using continuity
119
pfxdx (yM )
p Ym
dp dA1
p Ax
p )AxX
Substitute for dp/p using equation of state
_xd__+ (M dp dT
p )[p T]
+ (_ M2) -
xp
+ (M )dA±QMx Ax
( T + (_M2) A
Collecting terms gives
(I _ _M ) =ppfxdxp - ('MAI1) T (M )dA('Mx A:
Substitute for dT/T using energy
pfxdx 
- (_YM2)
p
+ (7M2) A
I
pf=dx+ (_yM(_
p
+ (7M2) A
Substitute for du/u using definition of u
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dp
p
dp pfxdx+ (_M2)
p 
p 
dp
p
dp
p
Fpdx
(1 - _YMX) dpp
(1- M2) dpp
- 1)M 2 ) du +(1)j
u
- 1)M 2 ) du ((- - 1)MxMQ)U
pfodx
pI
pfodx
p
=p
=p
M )MVIX
(1 - M )
(1 -'7M) d
dp
p
pfxdx + (yM(y-1)M2) cos2 a dux+ sin 2 a d1
- (( - 1)MXMQ) Pfodx+ (_YM2) A
- pfxdx + (yM2(_y- 1)M 2 cos2 a) dux
P ux
- ( M M2 Mo) pfodx+ (_ M )A
Simplify using M, 2cs a and M =M sn
1)M 2 sin 2 a) duo
no
+ dux( - 1)) du
- ((b - 1)MxMQ) pfodx
p
Substitute for dux/du, using x-momentum
_Y X)dp(1 - M )-
(I -7M ) dp(1-~yM)
pfxdx
p
+ (yMx 4 (-Y
+ (yM2(_-y 1)MO2)
pfxdx
p
- 1)
duo
- ((y- 1)M )
+ (Mj(2 1)M02) duo
uo
( fpx])(_ - ) Q +
- ((y - 1)MXMQ)
dp+
p
((_-y 1)M )
- (( - 1)MxMQ)
pfodx +
pf.dx
p
pfodx + (_YyM )
p
Collecting terms gives
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(- M ) dpP
pfxdx
p
+(YM± (_- 1)M2) duoU0
+ (_M2 ) A
dA
dAx
Ax
(I _ YM2 + M2(_y - 1)) dpp
(1- M2) dpp
= (1 + (,Y - 1)M ) pf+x ± (_YM2(_ - 1)M2)p
-(( - 1)MXM+) Pfod (YM) dA
(1 + (y - 1)M2) pf+x ± (YM(_y 
- 1)M2)p
- (( - 1)MxMQ) P + (1 Mg)
Substitute for duo/uo using 0-momentum
(1 - M) ,
(1 _ M2) dp
dp(_-Mg) _
= (1 + (Y - 1)M )
pfxdx + (YM2( 
-
p
pfodx (M2 dAx
1)(Mx-1)M M ) A:
-(( + ()(M 1) pf)dM + pfdx
= (1±+ (P - 1)M ) pfx + -)pp pfodx (, 2
- (('- 1)MXMQ) d +(M)p
dAx
Collecting terms gives
(1 - M 2) ddp
(1 - M) 
dp
p
= (1_ - 1)M2) pfxdxp
+ ( M )
= (1+ (_-Y 1)M )
pfxdx
p
+ ((y - 1)MxMO - (7 - 1)MxMQ)
+ ((7- - 1)Mx(MO - Me)) pfodxp
+ (_YM j )x
Simplify using MO - =
(1 _ M2) dpp = (1 + -1)M)
pfx
p
± ((-y - 1)MxMrel)pfodx
p + 
(_YM2) dAxdA
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duo
UO
dAx
pfodx
p
1)M ) [( M1 ) pfdx]
Re-write the axial and circumferential body forces in terms of the normal and
parallel body forces f, and f, using the following transformations
fx = fnsin3+ fcos#3
fo -fcos3+ fp sin3
where 3 is the relative flow angle
(I - M 2) dp
(I - M /) dpP
(+( - 1)M2)X
+ (I )MxMrel)
p [f, sin + fp cos #] dx
p
p ff cos / + fp sin 3] dx
p
+ (yM) A
AX
=(1 + ( I) )Mx2) sin 0 pfdx + (1 + (y-1)M2)X COS p3 d
I) M ppfdx p
- ((-y - 1)M2Mrel) cos/3PfndX + ((v - 1)MxMgrl) sin,3Pf~dX
p p
+ (yM ) dAxAX
Collecting terms gives
(1 - M ) dpp
(1- M ) p
S ((1 + (y - 1)Mx) sin 3 - - 1)MxMl) cos/3)
+ (( +(y- 1)Mx) cos/± (( - 1)MXMel) sin )
pfadx
p
pf~dx +
(sin + (y - 1)Mx sin/3 - - 1)MxMjel cos/ ) pfadx
p
1)M~cos 3-F 'y -sin pf~dx
+ (cos #3 + (~y - 1)Mj o 7-1MgMel sin ) + (yM )
Simplify using Mje Mrei sin / and M = Mrei cos /
123
(yM2) dA
dAx
AX
pfndx
- (sin3 + (- - I)M sin/3- (-y - 1)MMle sin 3 cos/3 )
pd
+ (cos 3 + (-y - 1)M ,2e1 cos 3 + (y - 1)M ,2, cos 13 sin 2 i3) P
- (sin 3 + (y - 1)M sin-(y- 1))M sin3) pfndx
p
MX)dp(1 - M) ~
dp
(1- M) d
dp
(1 - M2) dx P = (sin/3) pfndx + (cos (l+ (7p - 1)Me)) 
pfdx
p
+ (M )dA±QMx Ax
+ (_M2) dAxAx
Divide by (1 - Mx)
dp
p
_ sin1 pfndx +
-M2_ p
I cos /3 (1 + (' -)M2
1-M
pfpdx
p
dAx
Ax
A.4 Final Results
The final equation for dp/p is given by
dp
p E sin M.1 - I
pfndx
p
I cos /3 (1 + (-1)Mre)1
1- M2I
dAx
Ax
(A.1)
The control volume in this analysis is in a two-dimensional stream surface, as
illustrated in Figure A-1. Therefore, the area Ax is the area per unit height of the
streamsurface and is equivalent to 27r, such that
dAx 2-rdr dr
Ax 27r r
In this analysis, we assume no changes in radius, so dAx/Ax = 0 and Equation
A.1 becomes
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+ (cos/3 (1 + (y - 1)M'ei (cos 2 3 + sin2 3))) pfd
+ (7M2) dA
x A
I - M2 _
1- I
I sin3 pfadx ±1 -IM p
cos/ 3(1 + ('y - 1)My1 ) pfpdx
1 - M p
Re-arranging Equation A.2 to recover the axial pressure gradient term in the
improved normal force model gives
sin fE1 - MfJn (A.3)cos #3 (I + (-y - 1) M,2_)~X I Mfp
where the bracketed terms are the influence coefficients.
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dp _
p
(A.2)
1 dp
p dx
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